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Abstract

Lightweight and high strength sheet metal such as aluminium alloy sheets

are used in a variety of industrial applications. Due to the limited weldability

of these materials, mechanical joining techniques such as clinching are of in-

terest. The challenge in this regard is that conventional round clinch forming

locally induces large plastic deformations which potentially cannot be accom-

modated by materials with limited ductility. Ductile damage models are used

to predict the occurrence of bottom cracks during conventional round clinch

forming of EN AW-6082 T6 sheet. It is shown that cracks in the bottom of a

clinched joint and the final static strength of a single lap shear specimen can

be numerically reproduced provided that the post-necking strain hardening

behavior and damage behavior of the base material are properly identified.

The observed bottom cracks did not have a detrimental effect on the static

strength and fatigue life of single shear lap specimens. It is hypothesised that

fatigue cracks in single shear lap tests initiate due to fretting.
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Nomenclature

A80 Elongation at break

σ0.2 Proof stress

σUTS Ultimate tensile strength

Kbh Stiffness blank holder

X Bottom thickness

tn Neck thickness

tu Interlock

µi Coulomb friction coefficient

σy Yield stress

τmax Shear stress limit

σref Equivalent stress

K Strength coefficient

ε0 Pre-strain

εpleq Plastic equivalent strain

n Strain hardening exponent

ε̇ von Mises strain rate

m Strain rate sensitivity

r Lankford ratio

εmax Maximum uniform strain

σmax Equivalent stress at maximum uniform strain

εR Fracture strain
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σ1 Maximum principal stress

σeq Equivalent stress

σH Hydrostatic stress

f0 Initial void volume fraction

kω Shear damage parameter

fc Critical void volume fraction

fg Void volume fraction in the bottom of the clinched joint

fn Void volume fraction in the neck of the clinched joint

L0 Initial gauge length extensometer

R Force ratio in cyclic single shear lap testing

1. Introduction

Materials with high specific strength (lightweight and high strength) but

with limited ductility have entered a variety of industrial applications. For

example, the use of aluminum alloy sheets and die castings has increased

significantly in automotive applications [1]. Due to the limited weldability,

joining these materials by mechanical joining techniques such as clinching is

of interest. The basic principle of clinch forming processes is to create an

interlock between the combining thin metal parts with the aid of relatively

simple tools like a punch, a blank holder and a die [2]. The punch locally

pushes metal into the die and, depending on the shape of these clinching

tools, the resulting metal flow targets the creation of a permanent mechan-

ical interlock. Depending on the application rectangular or round clinching

tools are used. Materials with limited ductility, however, are conventionally
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Figure 1: A. Rectangular clinching tools B. Cross-section front view C. Cross-section side

view

clinched using rectangular clinching tools [3] which partially shear the sheets

forcing the top sheet through slits at the bottom sheet, see Fig. 1. As such,

shear clinching technology [4] yields a joint with sharp edges which have a

detrimental effect on the fatigue life of the joint [5]. Additionally, the per-

forated sheets are prone to corrosion. For these reasons, conventional round

clinching are usually preferred in industry yielding symmetrical load-bearing

joints with a superior fatigue strength [3].

The challenge in this regard, however, is that conventional round clinch

forming locally induces very large plastic deformations which can cause duc-

tile fracture and cracks [6], significant local microstructural changes [7] and

characteristic residual stress fields [8]. Obviously, these effects could poten-

tially affect the in service structural integrity of the joint.
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Since clinching solely relies on plastic deformation of the base materi-

als, a certain amount of ductility is required for obtaining defect-free joints.

Early assessment of clinchability for materials was based on a 180 degrees

bending test with zero radius [9]. Varis [10] formulated guidelines to as-

sess the clinchability of materials as function of material parameters. Based

on the available data on conventional clinching of high strength steels in

1998, Varis found that materials can be clinched provided that the elonga-

tion at break A80 ≥ 10% and the proof stress σ0.2 < 550 MPa. A more

recent guideline [11], however, recommends to consider both the elongation

at break A80 ≥ 8% and the strength-related metric σ0.2
σUTS

≤ 0.7. The latter

ratio of proof stress to ultimate tensile strength enables to include the effect

of strain hardening of the base material. The implication of these guidelines

on commercial available aluminum alloys can be visualized using a so-called

Ashby-diagram [12], see Fig.2. Each bubble in this chart represents a mem-

ber of the alumimum alloy family (here 279 records). The vertical axis shows

the elongation at break A80 (i.e. a ductility metric) and the horizontal axis

shows the strength-related metric σ0.2
σUTS

. The guidelines for clinchability [11]

are shown in this chart as black solid lines dividing the chart in two distinct

regions: good clinchability and process-induced defects. It can be seen from

Fig.2 that 62 (purple bubbles) out of 279 commercial available materials can

clinched without generating forming defects. High strength aluminum alloys

are clearly prone to process-induced defects in clinch forming.

In this paper clinch forming of EN-AW 6082-T6 is under investigation.

The material is labelled in Fig.2 showing that it is prone to process-induced

defects. The latter is confirmed in a recent study of Lambiase and Di Illio
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Figure 2: Clinchability of aluminum alloys according to [11]

[6].

The most obvious solution for this problem is to increase the ductility of

the base material by proper heat treatment or thermally supported clinch

forming. Various methods have been proposed for heating up the substrates

[13, 14, 15]. The option of heating up the tools is investigated by Hübner

[14]. Hahn et al.[13] proposed an alternative method based on electromag-

netic induction. He et al. [15] used flame heating to increase clinchability

of titanium alloys. Recently Zhang et al. [16] investigated the effects of

post-heat treatments (annealing and quenching) on the fatigue performance

of clinched titanium alloy joints. Lambiase [17] recently showed that EN-AW

6082-T6 sheet can be clinched without the formation of cracks if the material

is pre-heated adequately. Obviously, specific (local) heat treatments or ther-

mally supported clinching complicate the manufacturing sequence resulting
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in higher costs and therefore cold clinching is usually preferred in industry.

A second solution to avoid process-induced defects is by modifying the

geometry of conventional clinching tools. Such adaptive design is usually

driven by numerical simulations. The majority of the published work on

numerical simlation of clinched joints, however, deals with study of the joint

quality (i.e. shape and interlock) [18, 19] and the associated final quasi-static

strength [20, 21, 22, 23, 24]. Obviously, these studies are important to under-

stand the impact of the clinching tools on the metal flow and the resulting

interlock and neck thickness, and, consequently the final strength of the joint.

Less attention, however, went to numerical optimization of clinching tools to

avoid specific process-induced clinch forming defects. Neugebauer et al. [25]

proposed dieless clinching to minimize crack-inducing tensile stresses. Abe

et al. [26] modified a conventional clinching die with the aid of finite ele-

ment techniques to obtain a defect-free joint between high strength steel and

aluminum alloy sheet. Behrens et al. [27] used Oyane’s damage criterion

to optimize clinching tools and minimize damage in die cast aluminum alloy.

Lambiase et al. [28] found that shallow dies and punches with smoother fillet

radii enable to prevent cracks during clinching of aluminium alloys. A re-

cent study of Lambiase [6] aimed at acquiring an improved understanding of

the conditions causing process-induced defects in conventional clinch forming

of materials with limited ductility. Lambiase inversely calibrated Rice and

Tracey’s damage model based on a punch-out test and used an FE model to

predict process-induced defects in AW-EN 6082-T6 sheet. It was shown that

this approach enables to predict neck failure as well as bottom defects (see

Fig.3). Since neck fracture after clinch forming is unacceptable in terms of
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Figure 3: Process-induced defects. A) Neck fracture B) Bottom defect

structural integrity of the joint in service, present study is confined to bottom

defects as shown in panel B of Fig.3. The focus in the first part of this paper

is on the predictive accuracy of different ductile damage models to simulate

process-induced bottom cracks in AW-EN 6082-T6 sheet.

Carboni et al.[29] investigated the fatigue failure behaviour of clinched

single shear lap specimens and found that the applied force ratio R determines

the failure mode. Mori et al. [30] found that the fatigue cross-tension test

yields a smaller fatigue strength than the fatigue tension-shearing test. Su

et al. [31] found that the fatigue failure mode of single shear lap specimens

is different for low and high cycle loading conditions. In the second part of

this paper the effect of bottom cracks in clinched joints on the static strength

and the fatigue life of single shear lap specimens is scrutinized.
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2. Materials and methods

2.1. Clinch forming

2.1.1. Experimental

This study is confined to the so-called non-cutting round clinch process

using a closed die. The die exhibits a groove contributing to the creation of

the mechanical interlock. The right panel of Fig.4 shows the characteristic

dimensions of the clinching tools: punch diameter, punch radius, die contour

diameter, die contour depth and groove channel depth. The blank holder

had a stiffness of 626 N
mm

. A press with a capacity of 150 kN was used

to manufacture the joints. High pressure grease was applied between the

punch and upper sheet to enhance release ease. The machine was equipped

to measure the punch force and punch stroke during clinch forming. The left

panel of figure 4 show the cross section of the joint under investigation. A

bottom thickness of 0.64 mm and a neck thickness of 0.35 mm were found.

The minimum sheet thickness was not smaller than 0.1 mm.

In round clinching neck failure can usually be avoided by limiting the die

depth [28]. Once the radial metal flow is initiated, however, the material

can expand freely in the die groove. At this stage, the material is subjected

to high tensile stresses, and, consequently the material is prone to process-

induced defects such as cracks. Figure 5 shows bottom defects visualized

using a SEM image of the bottom of the joint. Two types of cracks can be

distinguished depending on their occurrence during clinching forming. Type

I cracks (indicated in red) are defined as early cracks which can potentially

be closed at the end of the process, see micrograph A A in Figure 5. It

is hypothesised that Type II cracks (purple) occur later in the process and
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tu=0.42 mm

Figure 4: Clinching tools and cross section.

remain at the surface. SEM analysis, however, clearly shows that all observed

crack-types involve ductile fracture due to overload.

2.1.2. Numerical

The geometry of the clinching tools was measured using a 3D optical pro-

filometer. These measurements were used to create discrete rigids. All sim-

ulations were carried out using the commercial FEA code Abaqus/Explicit

which assumes a hypoelastic-plastic constitutive model. Lagrangian adap-

tive mesh domains were created. An appropriate time scaling factor between

50 and 100 could be introduced without degradation of the calculated re-

sults. A displacement-driven axisymmetric FE model was used to simulate

the clinch forming process. In this type of simulation the die is fixed while

the punch undergoes a displacement during the simulation. The spring in
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Figure 5: Process-induced bottom defects.

the blank holder is ignored. Instead, the blank holder is subjected to a

small displacement (0.05 mm) downwards to mimic the blank holder force.

All axisymmetric models were meshed using four-node bilinear rectangular

elements using reduced integration and enhanced hourglassing control.

Three different frictional conditions are assumed (see figure 4) in the

model: punch/blank holder-upper sheet contact µ1, the sheet-sheet interface

contact µ2 and the die-lower sheet contact µ3. In this study, all contact sur-

faces are modelled using the Coulomb friction model and the values reported

in section 2.2.2 are used. Since clinch forming involves high contact pressures

the model was extended with a shear stress limit τmax = σy√
3

[2].
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Table 1: R-values

r0 r45 r90

0.519 0.722 0.416

2.2. Material Characterization

Aluminum alloy AW-EN 6082-T6 with an initial thickness of 2 mm is used

in this study. The material exhibits a high strength and is mainly used in

automotive industry [1]. Standard tensile tests in the rolling direction (RD)

were conducted to identify the pre-necking strain hardening behaviour. A

regular tensile machine with a load capacity of 10kN was used. The cross-

head speed was constant (2 mm/min). The elongation was measured using

a standard extensometer. The true stess-true plastic strain data (see Fig. 6)

up to maximum uniform strain εmax was used to fit Swift’s hardening law:

σref = K(ε0 + εpleq)
n (1)

The parameters (labelled EM Swift) can be found in table 2. The strain rate

sensitivity of the material was identified by conducting tensile tests (RD)

at different cross head speeds (2 mm/min and 60 mm/min). Strain rate

dependency was modelled as:

σ(εpleq, ε̇) = σref (εpleq)(
ε̇

ε̇ref
)m (2)

With σref the reference hardening curve obtained from a tensile test (RD)

conducted at a reference strain rate ε̇ref = 10−5 1
s
. The exponent m is cali-

brated based on a tensile test conducted at 60 mm/min (ε̇ = 10−2 1
s
) and a

value of m=0.0035 was found. The r-values can be found in table 1.
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2.2.1. Post-necking strain hardening behavior

The post-necking hardening behavior is scrutinized using a uniaxial com-

pression test on a stack of circular disks, the post-necking tensile experiment

(PNTE) and a Finite Element Model Updating (FEMU) approach.

The compression test is referred to as a Multi-layered Upsetting Test

(MLUT) [2] and basically consists of the simultaneous application of two

identical anvils to a number of stacked circular sheet metal specimens. The

force-displacement data measured during the test can be used to identify the

strain hardening behavior provided that the friction condition is known or can

be ignored. It is important to note that this test mimics the balanced biaxial

tensile test. All compression experiments in this study were conducted on

a regular tensile machine with a load capacity of 250 kN under quasi-static

conditions. A stack with an initial diameter of 10 mm a stack ratio of 1 (i.e.

5 disks) was used. The material is assumed to be plastically isotropic which

implies that stacking orientation with respect to the principal material axes

can be ignored [2]. The anvils were adequately lubricated enabling to ignore

friction. The procedure presented by Coppieters [2] and Steglich et al. [32]

was used to retrieve the strain hardening behavior. Subsequently, Swift’s

hardening law Eq.(1) was fitted to the available data up to 0.5 true plastic

strain.

The PNTE [33, 34] requires the input of the strain field in the diffuse

neck. The latter was measured using stereo DIC [35] during a quasi-static

tensile test in the RD. The method to retrieve the post-necking strain hard-

ening from this experiment relies on the minimization of the internal and the

external work. The method was used to identify Swift’s hardening law up to
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Table 2: Swift’s hardening parameters

Method K(MPa) ε0 n

EM 504 0.0221 0.15

MLUT 452.6 0.00366 0.092

PNTE 467.9 0.00789 0.114

Table 3: Voce-Xue hardening parameters

Method A B C εmax σmax n

FEMU 398.6 289.3 12.7 0.104 369.9 0.164

a true plastic strain of about 0.5.

Figure 6 shows the identified post-necking strain hardening behavior.

Since both the MLUT and the PNTE yield experimental data up to a true

plastic strain of 0.5, data beyond this value is obtained by extrapolation

using the identified phenomenological Swift law. Figure 6 also shows the ex-

trapolated pre-necking strain hardening data (referred to as EM Swift). The

latter approach is in the remainder of this work referred to as Extrapolation

Method (EM). It can be seen that the MLUT and the PNTE yield similar

results. Both identified hardening curves exhibit less strain hardening in the

post-necking regime than the EM. It must be noted, however, that the PNTE

reproduces the pre-necking strain hardening regime (i.e. up to εmax) more

accurately than the MLUT. Obviously, this can be explained by the fact

that the MLUT probes a different stress state than uniaxial tension while

the material exhibits plastic anisotropy.

Studies on ductile fracture often resort to the FEMU technique to identify

the post-necking strain hardening behavior through a standard tensile test
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[36]. The assumption is that damage plays not a significant role until the

development of the neck is quite advanced. The FEMU technique relies on

the minimization of the discrepancy of the computed and measured tensile

force to retrieve the post-necking hardening behaviour. Panel A, Fig.7 shows

the prediction of the load-elongation curve using the identified strain hard-

ening laws PNTE Swift and MLUT Swift. It can be inferred that none of the

latter strain hardening laws enables to predict the tail of the experimentally

obtained load-displacement curves. Good agreement between the simulation

and the experiment can be only achieved by significantly increasing the strain

hardening in the post-necking region. As suggested by Xue et al. [36], this

can be done by modifying the post-necking strain hardening behavior:

σeq =

 A− (A−B)e−Cε
pl
eq if εpleq ≤ εmax

σmax(
εpleq
εmax

)n if εpleq > εmax

Where σmax is the true stress at the maximum uniform strain εmax. By

adjusting n, the gap between the experiment and the simulation (labeled

FEMU Voce-Xue in Panel A of Fig.7) can be closed. The FEMU Voce-Xue

hardening parameters are summarized in table 3. The corresponding harden-

ing behavior (labeled FEMU Voce-Xue) is shown in figure 6. Obviously, the

latter strain hardening behavior is not in agreement with the earlier findings

of the PNTE and the MLUT. The reason for this is that the simulation (see

Panel A, Fig.7) ignores the strain rate effects within the diffuse neck. Panel

B, Fig.7 shows the effect of strain rate dependency by using Eq.(2) for sim-

ulating the tensile test. Although the strain rate sensitivity of the material

is small (m = 0.0035), it cannot be ignored if FEMU is used to identify the

post-necking strain hardening behavior.
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Figure 6: Identified post-necking strain hardening behavior up to true plastic strain of 0.5.

In conclusion, the hardening behavior of AW6082-T6 can be described by

a Swift-type hardening law, i.e. no saturation occurs up to 0.5 true plastic

strain. Although the PNTE and the MLUT yield very similar results, it can

be concluded that PNTE Swift provides the best description of the strain

hardening behavior. FE-based inverse calibration of the post-necking strain

hardening behaviour using the tensile test requires the knowledge of the strain

rate sensitivity.
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A B

Figure 7: Numerical simulation of the tensile test (RD). A) Strain rate independent ma-

terial behavior B) Strain rate dependent material behavior Eq.(2)

2.2.2. Ductile damage

Two ductile damage criteria are used in section 3 to analyze process-

induced defects in the clinch forming process using an axisymmetric FE

model. These type of models rely on the hypothesis that ductile failure will

occur when the maximum damage of the material exceeds a critical damage

value (CDV). Such criteria are usually in an integral form to account for the

deformation history. Although such criteria are the result of post-processing

stresses as a function of the deformation history, they have shown to be very

useful in the analysis of processes involving plastic deformation of metals.

In this study, the phenomenological Cockroft-Latham criterion [37] which

predicts ductile failure in regions of the largest tensile stresses was adopted:
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CDVC&L =

∫ εR

0

max(
σ1
σeq

, 0)dεeq (3)

With εR, σ1 and σeq the fracture strain, the maximum principal stress

and the equivalent von Mises stress, respectively. Lambiase and Di Illo [6],

however, concluded from their study on 6082-T6 sheet that Rice and Tracey’s

(R&T) criterion [38], which is a physics-based model, is an adequate crite-

rion to predict cracks in clinch forming. As such, Rice and Traceys damage

criterion was also adopted here:

CDVR&T =

∫ εR

0

e
1.5

σH
σeq dεeq (4)

With σH the hydrostatic stress. Both the C&L and the R&T are referred

to as uncoupled models since plastic material response is decoupled from

ductile damage and failure. The C&L and R&T criterion can be easily

calibrated: only the critical damage variable (CDV) needs to be calibrated,

preferably based on an experiment which resembles the clinching process.

Lambiase [17] calibrated the CDVR&T for 6082 T6 (thickness 1mm) using

a punch-out test and found a value of CDVR&T = 0.6. The punch-out test

resembles a blanking operation which partly corresponds with the clinch

forming process. In this study, the CDV was inversely calibrated using the

FE model of the clinch forming process (details on the FE model can be

found in section 2.1.2). To do so, however, the onset of cracks must be

experimentally observed. The left panel of Fig.8 shows the cross-section of

the joint under investigation with an bottom thickness of X=1.55 mm. At

this stage the first cracks in the bottom of the joint appear. Panels A and

B show the numerical counterparts using the R&T and the C&L criterion,
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Table 4: CDV

Criterion R&T C&L

CDV 1.45 0.69

Figure 8: Inverse calibration of the Critical Damage Variable (CDV). A) Rice and Taylor

B) Cockroft and Latham.

respectively. By comparing the experimental and numerical results, the CDV

of both ductile damage criteria can be estimated and the results can be found

in table 4.

Unlike uncoupled models such as the R&T and the C&L criterion, cou-

pled ductile damage models modify the plastic material response as a func-

tion of the accumulated damage. The Modified Rousselier (MR) model [39]

is used in section 3 to analyze process-induced defects in clinch forming. The

MR model enables to address shear ruptures as well as tension-dominated
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failures. Compared to uncoupled ductile fracture criteria, the calibration of

the MR model entails significant experimental/numerical effort. Convention-

ally, an FE-based inverse method is used to calibrate the initial void volume

fraction f0 and the shear damage parameter kω using a notched tensile spec-

imen and a shear test specimen, respectively. In this work, the calibration

strategy outlined in [39, 24] was followed and the identified parameters (la-

belled Standard) are shown in table 5. The requirement, however, that the

load-displacement curve of the notched tensile test is independent of kω could

not be established, see Fig.9. Additionally, it was found that the strain rates

in both experiments differ by a factor 10. The latter issues potentially bias

the identification of the damage parameters. Another concern is that the

standard procedure uses sheet metal samples to calibrate the MR model.

However, due to the small dimensions of the clinching tools, clinch form-

ing must be regarded as a bulk forming problem. To cope with this issue,

the damage parameters can be inversely identified from the clinch forming

process itself. The latter requires information with respect to the onset and

location of the cracks during clinch forming. Since this study is confined

to bottom defects, the identification objective is quite simple: find the set

of damage parameters (f0 and kω) enabling to avoid fracture in the neck of

the joint but promoting fracture in the bottom of the joint. The onset of

fracture, however, at the bottom of the joint might also depend on the fric-

tional condition between die and lower sheet. To scrutinize the importance

of the interplay between damage parameters and frictional conditions (see

figure 4) an orthogonal design was adopted. Six 5-level parameters are con-

tained in the orthogonal array, see table 6. Since high pressure grease was
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applied between punch and upper sheet, the frictional condition is assumed

to be µ1 = 0. In addition, the critical void volume fraction was assumed

to be equal to fc = 0.2 [24]. Physically realistic values were chosen for the

other parameters. The objective function fg in the orthogonal design is the

void volume fraction in the bottom of the joint. Once this value reaches

fg = fc = 0.2, bottom defects can be expected. According to the orthogonal

design, bottom fracture is promoted by the parameter set Orthogonal Design

shown in table 5. This parameter set, however, yields a double fracture (bot-

tom and neck) in the simulation indicating that this first order approach is

probably not adequate since it ignores potential interaction effects. The or-

thogonal design merely shows that the prediction of process-induced defects

depends on a complex interaction of materials properties as well as frictional

conditions. By analysing all the simulations in the orthogonal design (in

total 25) using the following objective function (to be maximized):

g(fg, fn) = [1 − fc − fg
fc

] + [1 − fn
fc

] (5)

a parameter set which avoids fracture in the neck and approaches onset of

fracture in the bottom can be found. With fn the void volume fraction in the

neck of the joint. The found parameter set is referred to as Best Fit in table

5. Small modifications of the parameter set, however, are required to enhance

the predictive accuracy with respect to the shape and the onset of fracture.

This can be achieved by modifying µ3 to 0.1 and slightly increasing f0 to

0.009, respectively. The optimized parameter set, referred to as Optimized

(IMR), can be found in table 5. The evolution of the void volume fraction

using the latter parameter set is shown in Fig.10. Indeed, fg exceeds 0.2
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Table 5: Modified Rousselier Model and frictional conditions of the tribological system in

clinch forming. Rousselier constants defined as in [24].

Method µ1 µ2 µ3 kω f0 fc Fracture location

Standard [24, 39] (MR) 0 0.3 0.1 2 0.0008 0.2 Neck

Orthogonal Design 0 0.3 0.1 1.5 0.008 0.2 Neck and Bottom

Best Fit 0 0.4 0 0.5 0 .008 0.2 No Fracture

Optimized (IMR) 0 0.4 0 .1 0.5-1 0 .009 0.2 Bottom

Table 6: Orthogonal Design: parameters and levels

Level µ1 µ2 µ3 kω f0 fc

1 0 0 0 0.3 0.003 0.2

2 0 0.1 0.1 0.5 0.005 0.2

3 0 0.2 0.2 0.8 0.008 0.2

4 0 0.3 0.3 1 0.0008 0.2

5 0 0.4 0.4 1.5 0.0004 0.2

while fn remains below 0.15 until the end of the process.
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Figure 9: Influence of kω on the simulated notched tensile test.

Figure 10: Evolution of the void volume fraction in the neck fn and in the groove of the

die fg using IMR.
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3. Numerical prediction of process-induced clinch forming defects

The goal of this section is to scrutinize the predictive accuracy of different

damage models: Cockroft & Latham (C&L) criterion, Rice & Traceys (R&T)

criterion, Modified Rousselier Model (MR) and the Inversely calibrated Mod-

ified Rousselier Model (IMR). Those damage models are implemented in an

axisymmetric FE model, see section 2.1.1. The strain hardening behavior

is described with PNTE Swift, see table 2. The assessment is based on the

location and the onset of bottom cracks during clinching.

Figure 11 shows a cross-section (final bottom thickness X=0.64 mm) along

with numerical predictions using different ductile fracture criteria and the

Modified Rousselier model (MR and IMR). It can be seen from Figure 11 that

all models accurately reproduce the final shape of the joint. The contour of

the joint and the interface between the connecting sheets is in good agreement

with the experiment. The later indicates that the metal flow is simulated with

sufficient accuracy.

The incomplete connection at the interface (see artefact b shown in Figure

11) is predicted by all models. Since the FE model ignores the stripper

mechanism, the artefact c (slight bending of the surrounding material) could

not be reproduced. It must be noted that observation d, i.e. the sharp

transition caused by the local indentation of the punch, is not captured by

the FE model.

The numerical predictions in Fig.11 show the damage variables for the

adopted damage models. It can be inferred that the C&L criterion and the

R&T criterion both predict a high probability of crack occurrence in the bot-

tom of the joint. The only difference is that the R&T criterion predicts po-
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tential cracks slightly earlier in the process than the C&L criterion. Although

crack propagation was not considered in the simulation, this numerical result

seems to correspond with the experimental observation of type I and type II

cracks, see section 2.1.1. If, however, the calibrated CDV values (see section

2.2) for both criteria are evaluated, neck fracture is also predicted which is

clearly not in agreement with the experimental observations.

Figure 11 shows that the MR model failed to predict the correct crack

location and promotes a strong neck rupture. The latter model was calibrated

using the standard procedure. Although Zhao et al. [24] successfully used

this approach to predict neck failure, it seems that it cannot predict the

bottom cracks during clinch forming. Figure 11 shows that the IMR enables

to reproduce the bottom defects. Unlike all other models, the IMR does not

predict neck fracture. Indeed, the critical void volume fraction (fc = 0.2) is

only exceeded in the bottom of the joint. That means that both the onset

and location are predicted accurately at the end of the process.

Figure 12 shows the validation of the FE model in terms of the pro-

cess graph. A deviation between the numerically computed and experimen-

tally obtained process graph can be noticed. These deviations might be

attributed due to the assumptions concerning the FE model: infinitely rigid

tools (clinching tools and press), a constant friction coefficient and strain

rate independent material behavior. Given this, the numerically predicted

process graph is deemed sufficiently accurate.
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Figure 11: Numerical prediction of process-induced defects: R&T, C&L, MR and IMR.

Figure 12: Process curve clinch forming operation.
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4. Quasi-static and cyclic single lap shear tests.

In this section, the static and fatigue strength of the clinched joint con-

taining bottom defects (see section 2.1.1) is investigated through a single

shear lap test. Due to its simplicity, the test is commonly adopted for

the determination of the static shear strength of mechanical joints, e.g.

[28, 40, 41, 42]. Likewise, the cyclic single shear lap test is often applied

to determine the fatigue strength of the joint [29, 43, 30, 31]. The latter

studies describe in detail the failure modes associated with the single shear

lap test. It must be noted, however, that in practice a clinched joint is often

subjected to a combination of shear and normal loads. Coppieters et al.[20]

investigated the static multi-axial strength of clinched connections using a

modified Arcan set up. Studies regarding the fatigue life of clinched joints

under multi-axial loading are currently lacking in literature. The aim of this

section is to study the influence of bottom cracks on the static and cyclic

strength of single shear lap specimen and the associated failure mechanisms.

4.1. Quasi-static shear lap tests

The test conditions were in accordance with [44]. The specimen had a

width of 45 mm, an overlap of 18 mm and a free length of 95 mm. The elonga-

tion was measured using an extensometer with L0 = 50mm. All experiments

are conducted using a standard tensile machine with a load capacity of 10

kN using a cross head speed of 10 mm/min. The experiment was repeated

10 times and the results are shown in figure 13. An average maximum static

shear strength of 2248 N was found and Panel A of Fig. 13 shows a typi-

cal failure mechanism exhibiting a pure neck fracture. Unbuttoning during
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the single shear lap test is prevented by the large interlock (tU = 0.42mm).

Moreover, the static pull-out strength (3150 N) measured by the cross-tension

test [2] was larger than the static shear strength (2248 N). The tested single

shear lap specimens were investigated and no experimental evidence could be

found indicating that bottom defects affect the static strength or the failure

mechanism. Microscopic cross-section analysis after testing did not reveal

any activation of bottom cracks. This could be expected since the static

load in both the single shear lap test is transferred via the neck of the joint.

Consequently, the observed bottom cracks do not play a role of importance

during quasi-static loading of single shear lap specimens.

Finally, the experimental observations obtained in the single shear lap

test are also reproduced with the aid of a 3D FE model. Solution vari-

ables after clinch forming are transferred to a second simulation step which

embarks on the single shear lap test. Figure 13 shows the results of two sim-

ulations. Both simulations use the inversely calibrated Modified Rousellier

Model (IMR). The red curve shown in Fig.13 is obtained by adopting the

Voce-Xue hardening law, see section 2.2.1. Although the model captures the

correct failure mode, failure is predicted as from a displacement of about 0.5

mm. Additionally, it can be inferred that this model largely overestimates

the maximum strength. This result confirms that the Voce-Xue hardening

law shown in Fig.6 overestimates the strain hardening in the post-necking

regime. The PNTE Swift hardening law shown in figure 6 is deemed to

describe a more realistic post-necking strain hardening behavior. The blue

curve in Fig.13 is obtained with thew PNTE Swift and the IMR damage

model. It can be seen that simulation predicts a failure load and displace-

28



I II

A

B

A

Figure 13: Single shear lap test: experiments and numerical prediction. A. Failure mode

B. Numerical prediction

ment at break within in the experimental range. As such, the model can

be used to generate reliable virtual data to calibrate equivalent models as

proposed by Breda et al. [40]. In addition, Fig.13 illustrates the importance

of the post-necking strain hardening behavior for simulating the quasi-static

strength of a clinched joint in a shear lap configuration. Finally, it is clear

from panel B, Fig.13 that the plastic deformation and damage localizes in

the neck of the joint. The material state at the bottom defects, however,

does not change during a single shear lap test. As such, the numerical re-

sults confirm that process-induced bottom defects have no detrimental effect

in the quasi-static single shear lap test.
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4.2. Cyclic shear lap tests

As stated by Lambiase [17], bottom defects might have a detrimental

effect on the fatigue life of a clinched joint containing process-induced bottom

defects. The latter is partly scrutinized in this section: cyclic single shear

lap tests were conducted on clinched joints exhibiting bottom defects. All

specimens were subjected to a constant cyclic loading of 20 Hz on an Instron

8800 hydraulic testing machine. The force ratio, R was set to 0,1 and a

maximum force not larger than the static yielding force was applied. The

fatigue test was halted when either a displacement of 5 mm or a total amount

of 2 million cycles was reached. Additionally, cyclic single shear lap tests

were conducted on clinched joints of which the bottom defects were carefully

removed by grinding and polishing. The latter experiment excludes potential

fatigue crack initiation at the crack tip of a bottom defect. The failure mode

of each test specimen was recorded and the failure modes were analysed.

Su et al. [31] found that fatigue cracks in single shear lap specimens start

from the curved interfacial surface of the upper sheet and then grow into the

upper sheet. The latter results in neck rupture and upper-sheet separation

for low and high cyclic testing, respectively. In this study, however, three

failure modes are observed, see Fig. 14. Panel A shows a typical neck failure

along with an indication (see black arrow) of fretting wear [15]. Panel B is

a combined failure mode of joint and base material. Figure 15 reveals that

the latter failure mode also involves fretting wear. Panel C of Figure 14

shows a complete failure of the base material. Inspection of the contacting

surfaces reveals fretting wear which corresponds to the initiation region, see

Figure 16. Additionally, it can be inferred from 16, Panel B that the fatigue
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crack propagates outwards as indicated by the green arrows. Ductile fracture

appears at locations where the material was connected just before complete

separation of the sheets.

Although three failure modes were observed, it can be inferred from Fig.14

that the dominant failure mode is a combined failure of base material and

joint (Panel B). Moreover, a clear relation between failure mode and low

and high cyclic testing could not be established. For fatigue test specimens

that failed both in the base material and clinched connection (Panel B),

there is a possibility that the fatigue crack initiates at the crack tip of the

initial bottom crack. Therefore, scanning electron microscopy (SEM) was

performed at different locations (Figure 15 A, B and C) of the fractured

surface.

From the more detailed SEM images shown in Figure 17, it can be seen

that location A exhibits a more brittle fracture tending to propagate from

the right to the left, as indicated by the black arrow. The initial bottom

crack is clearly visible at the SEM image of location B, but no solid evidence

could be found that this initial crack acts as an initiation point for the fatigue

crack. A ductile fracture is noticed at location C, where the dimples from an

overload are clearly visible. This suggests that before failure of the fatigue

test specimen, the last connection between the two fractured surfaces was

at location C. An exact initiation point, however, of the fatigue crack could

not be found as the fracture had a more brittle character and no clear beach

marks were found.

Furthermore, it can be concluded from Fig.14 that the fatigue lifetime

of shear lap specimen did not improve by removing the bottom cracks. The
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Figure 14: Fatigue test and failure modes

observed difference in Fig.14 could potentially be attributed to the manip-

ulations required for removing the bottom defects. In summary, it can be

concluded that the observed process-induced bottom defects do not have a

detrimental effect with respect to the fatigue life of the joint loaded in single

shear lap configuration.

5. Conclusion

Materials with limited ductility are prone to process-induced clinch form-

ing defects. The study focuses on so-called bottom defects which arise due

to the high tensile stresses generated when the material is expelled outwards

to create the permanent interlock. It is shown that the observed bottom

cracks can be predicted with the aid of an axisymmeyric FE model using the

Modified Rousselier model provided that the model is inversely calibrated
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Fretting zone

Figure 15: Combined failure mode - Locations SEM analysis and fretting wear

ductile fracture

ductile fracture

fretting wear

A
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Die-side

B
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Figure 16: Failure mode C, see Figure 15. Inspection of contacting surfaces (bottom at

die-side sheet removed by grinding). Panel A: fretting wear at punch-side sheet. Panel B:

fretting wear and ductile fracture at die-side sheet.

33
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Figure 17: SEM analysis at location A, B and C, see Fig.15

on the basis of experimental observations during the clinch forming process.

Future work should focus on the validation of these findings for other ma-

terial combinations and clinching tools. Furthermore, it is shown that the

post-necking strain hardening behavior of the base materials plays an im-

portant role in simulating the static single shear lap test. The observed

process-induced defects did not have a detrimental effect on single shear lap

specimens loaded under quasi-static and cyclic conditions. Fatigue testing

of single lap shear specimens revealed three failure modes: neck fracture,

combined neck fracture/base material and failure of the base material. All

failure modes exhibited fretting wear suggesting that fatigue cracks initiate

due to fretting. No experimental evidence was found that fatigue cracks in

single shear lap specimens initiate at the observed process-induced bottom

defects. To ensure the structural integrity, however, additional research is
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required to understand the effect of cracks under other (multi-axial) static

and cyclic loading conditions.
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eigenschaften mechanisch und kombiniert mittels kleben gefertigter

verbindungen (in german).

41


